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Investigation of Confluent Boundary Layers in High-Lift Flows
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The confluent boundary layers over a three-element high-lift airfoil are studied using both numerical and
experimental approaches. The results suggest that wake prediction is crucial to the convergence and accuracy
of the overall solution. At maximum lift, unsteadiness is observed in the experiment, which is not captured by
computations. However, solutions at maximum lift indicate that, although the flow is attached over the flap,
the separation bubble at the leading edge of the slat upper surface is coupled with inviscid flow reaching the
compressibility limit. The thickened slat wake results in a displacement of near-surface flow over the main element
and limits the main element from gaining more lift. The trends in the confluent boundary layers development
require all aspects of the physics be modeled appropriately, including transition, turbulence, and inviscid-viscous
interaction. An eddy viscosity turbulence model is shown to be ill-behaved for predicting some of the physics of
wake confluence. Also, the isotropic eddy viscosity assumptionis not strictly valid for the confluent boundary layers

with large flow turning angles.

I. Introduction
N the introduction of Wing Design and Analysis—Your Job,
Smith! said “.. . the definition of an airplane . . . is a device that

almost won’t work.” This statement characterizes the challenges of
wing design, as the transport aircraft wing must be designed to op-
erate in the entire flight envelope including cruise and low-speed
conditions. Earlier airplanes did not require high-lift systems be-
cause their wing loadings were low and the speed ratios between
cruise and low speed were also low. In contrast, modern commercial
transport cruise speeds and wing loadings are much higher; conse-
quently, a high-lift system is required to provide the additional lift
necessaryforlow-speed operations.Moreover, the airfoil shapes and
integrated wing planforms optimized for cruise performance im-
pose challenging design constraints on the high-lift system. Nield?
used an analogy of the childhood game of crack-the-whip to de-
scribe the process of the high-lift design development of the Boe-
ing 777. He indicated that seemingly small changes to the wing to
meet changing mission goals can totally invalidate the high-lift de-
sign for a preceding configuration. It follows that high-lift design
must utilize rapid and efficient processes. This leads to the need for
applying robust and reliable computational fluid dynamics (CFD)
tools.

It has been two decades since Smith® presentedhis Wright Broth-
ers Lecture on high-lift aerodynamics. Currently, CFD is still far
from being an integral part of high-lift design process as it is in
cruise wing design* Even in two-dimensional high-lift flows, the
computed trends still do not always agree with results of exper-
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iments. In particular, the pertinent flow features and physical ef-
fects attributed to configuration changes and flow conditions have
not been consistently predicted by CFD.? To understand why CFD
models do not adequately predict important flow features, and to
improve prediction accuracy, it is imperative that we gain more
insight into the physics governing high-lift flows. The difficulties
confronting high-lift flow simulations lie primarily in the area of
multiple viscous-layer interactions, or confluent boundary layers
(CBLs). There have been many experimental investigationsin the
areaof CBLs representativeof high-liftflows (see referencescitedin
Bucci and Sullivan® and Sec. IT). However, very few of these exper-
iments provide a complete set of detailed data, including transition
and turbulence quantities at high Reynolds numbers for realistic
high-lift configurations. In the spring of 1996, a workshop was held
atthe NASA Langley Research Center with McDonnell Douglasand
Boeing participationto plan experiments to address critical high-lift
flow physics issues pertaining to CFD development. The outcome
was a coordinated effort between CFD and experimental investi-
gators from NASA and Boeing to jointly study the transition and
turbulence effects for the well-documented three-element high-lift
airfoil considered in this study.

Based on the joint flow physics investigation, Rumsey et al.” re-
cently reported the effect of varying the transition location and the
use of a nonlinear explicit algebraic stress model for a representa-
tive high-lift wing section. The present paper expands on the work
by Rumsey et al.” Our objective is to examine the detailed flow-
field physics in an attempt to improve the CFD solution accuracy
using both experimental flowfield surveys and Reynolds-averaged
Navier-Stokes (RANS) simulations. In Sec. II, the physics perti-
nent to high-lift aerodynamics is reviewed. In Sec. III, both the
experimental and CFD methods are introduced. Finally, in Sec. IV,
measured mean velocities, Reynolds stress data, and numerical so-
lutions are presented and discussed, including trends caused by flap
gap variation and Reynolds number effects.

II. Review of High-Lift Flow Physics

A sketch of dominant flow features over a wing sectionin a high-
lift configuration is illustrated in Fig. 1. The flowfield is charac-
terized by significant interactions of the slat wake and wing, i.e.,
the main-element boundary layer (BL), and the CBL flow over the
wing and flap surfaces. The BL from each element starts from the
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Fig. 1 Sketch of dominant physical features for high-lift flows.

attachment point near its leading edge (LE), and this fresh BL even-
tually merges with the wake shed by the previouselementanda layer
of unretarded air from the upstream gap. The CBL grows on the up-
per surface of the wing and flap, yielding a complex velocity profile
that extends from the surface well into the flowfield, e.g.,20% chord
above the flap surface at high incidence as shown. Because of the
strongly coupledinviscidand viscouseffects, this CBL cantoleratea
much higher overall pressurerise without separation. Moreover, the
wakes of the slat and main element can also penetrateregions of high
adverse pressure gradient, making an efficient recovery off the sur-
face. These important interactions between elements and between
viscousandinertiaforceshavebeen summarizedby Smith.? Inthree-
dimensional configurations, the slats and flaps are typically only
part-span, and they are supported by tracks and fairings. The pres-
ence of the fuselage and engine nacelles, in addition to the spanwise
variationof slats and flaps, introducesmore physicalfeaturesinto the
high-lift problem, such as vortices trailing off the edges, junctions,
andnacellestrakes. All of these geometric and physicalfactorsmake
accurate prediction of high-lift characteristics a very challenging
problem.

For a typical three-element airfoil at low incidence, the main el-
ement carries the highest loading, followed by the flap and slat. As
the angle of attack increases,loading on both the main element and
the slat increases. However, lift on the flap decreases, and the flap
pressure suction peak becomes more moderate at high incidence. At
stall, the main elementreaches the maximum lift, while the flap con-
tinues to unload. In general, the BL on the flap with well-optimized
gaps and overhangsis not separated at maximum lift.}~!° For land-
ing configurations, lift curves associated with this type of stall are
relatively flat at maximum lift, indicating a gradual, gentle stall,
unlike the LE-type stall often seen on single-element airfoils. If the
combination of gaps and overhangs, or slat and flap deflections,
are not set in optimum positions relative to each other, there can
be flow separations on different elements at stall, as reviewed by
Obert."!

The unique phenomenon of fully attached flow at stall has been
observed on a Cessna L-19, as early as 1958 by Cornish.'> Later it
was shown by Petrov'? that, although the flow was attached on the
surfaces, the reduction in the rate of lift gain was associated with
the appearanceof a region of flow reversal, also noted as off-surface
separation, situated in the wake off the flap surface. The flow re-
versal region was seen to grow thicker with increasing o and flap
deflection. This phenomenonwas said to limit the maximum obtain-
able lift. Petrov reports that the off-surface flow reversal region is
quite stable. Nonetheless,several researchersinvestigatingthis flow
in high-liftexperiments with more realistic flow Reynolds numbers
reported that there was no evidence of off-surface flow reversal 416
although unsteadiness at maximum lift has been reported.” It is
recognized that the displacement effect of the thick viscous layer
leads to the large lift differencerelative to the inviscid level at stall.
Whether wake flow unsteadiness, off-surface flow reversal, some
undiscoveredphysical behavior, or a combination of these factors is
the lift-limitingmechanism,remains an open questiontoday. Under-
standing this mechanism is important for implementing the correct
physicalmodelinginto CFD methods if we are to trust the maximum
lift predictions.

Johnston and Horton® indicated that the development of high-
lift viscous layers is affected significantly by flow curvature near
stall conditions. They also found that for a two-element config-
uration there were significant static-pressure gradients normal to
the surface, which invalidates methods using BL-type assumptions.

Few experiments have been conducted to obtain measurements of
mean flow and turbulence quantities to study the wake and BL in-
teractions for realistic high-lift configurations. Brune and Sikavi'®
investigated the flowfield around a four-element airfoil in the Boe-
ing Research Wind Tunnel. Their pitot probe and cross-wire probe
measurements represent a self-consistentand sufficiently detailed
database for CFD validation. However, the flow condition was at a
chord Reynolds number (Re) of 1.55 million (M ). Nakayamaetal.'4
made detailed measurements of mean flow and turbulence quanti-
ties around a three-element airfoil at Re =3M in the NASA Lang-
ley Low Turbulence Pressure Tunnel (LTPT). They concluded that
many parts of the shear flow deviate vastly from classical flows,
including the strong curvature effects and significant static pressure
variation normal to the airfoil surface. In subsequent tests at the
LTPT tunnel, velocity profiles over the three-elementairfoil used in
this study have been taken to investigate the flowfield. It was found
that the wake over the flap turned as much as 30-50 deg relative to
the freestream.

Because of the complexity of the observed high-liftphysics, there
have been a number of building-blockexperimentsaimed at gaining
understandingby use of simplified models. Bario et al."” made mea-
surements of a tandem symmetrical arrangement of a two-element
airfoil in a variable-pressure gradient tunnel. They concluded that
it was possible to separate the flow into three viscous regions: the
wall BL, the internal half-wake, and the external half-wake. The
laws of the wall and the wake provided valid descriptions of their
observed velocity field, though the position of zero shear stress did
not coincide with the position of zero velocity gradient. Zhou and
Squire,? Agoropoulos and Squire,>' and Squire*? explored the in-
teraction between the slat wake and the main-element BL. Squire
also separated the wake and BL interaction into three successive
regions, namely a) unmerged, with the wake and the BL separated
by a potential core; b) initial merging of the viscous layers; and
¢) merged, where the velocity profile no longer features a wake. In
particular, Squire indicated that there may be significant regions in
the initial merging area, where the shear stress is of opposite sign
to the velocity gradient. Sketches of the BL profiles corresponding
to the three regions are shown in Fig. 2. For the high-lift config-
uration considered in this paper, the CBL over the main element
contains a rapidly merging slat wake and main BL at low incidence,
and the profile at midchord of the main element appears already
fully merged. At high incidence, the slat wake merges later, and
the profile over the flap surface still shows merging wakes. Even if
transition was set according to experiment, the rapid merging of the
slat wake and main BL still has not been predicted for low incidence
by CFD.”?* Whether it is some unsteady flow off the slat trailing
edge (TE), such as vortex shedding caused by slat cove flow, or an-
other phenomenon such as a laminar bubble that was not modeled
in the CFD, the reason for the disagreementbetween prediction and
measurement is still not understood.

Using a simple two-element configuration, Johnston and Horton®
adapted a multilayer representation of the merging viscous layers
similar to that of Bario et al.!” They also divided the viscous layers
into three parts (Fig. 3): 1) the wall layer, from the surface to the first
velocity maximum above surface (denoted by y,); 2) the inner half-
wake, from the wall layer boundary edge to the maximum velocity
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Fig. 2 Three regions of wake and BL interaction according to
Squire??: a) unmerged, b) merging, and ¢) merged.
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deficit point in the wake; and 3) the outer half-wake, from the outer
boundary of the inner half-wake to the edge of inviscid flow. By
showing that the distance from the wall to the zero shear-stress
point is less than y,, they concluded that there is a small region
at the vicinity of the wall layer and inner half-wake intersection
where Reynolds shear stress (—u'v’) and normal velocity gradient
(8U/dy) have opposite signs, in violation of the eddy viscosity (or
Boussinesq) hypothesis. This situation is similar to the conclusion
from Bario et al.'® and those discovered from investigating curved
mixing layers in Hinze** and Mathieu.?

There are several explanations for the non-Boussinesg-typephe-
nomenon. Hinze argues that the turbulent transport cannot be of
the gradient type only. Rather, in addition to the dU /dy term, there
is a contribution of larger-scale turbulence or of momentum trans-
port over distances where the mean velocity gradient can no longer
be considered as being constant, while the effect of turbulence in-
homogeneity is felt. Mathieu pointed out the physical unreality of
concepts such as those of Boussinesq and Prandtl. He also sug-
gested that this phenomenon could be a result of the memory of the
turbulent structures and of the effects of the transport phenomena.
These explanations seem consistent with each other because small
turbulentstructuresare not likely to yield the memory effectbecause
they are rapidly suppressedby viscosity. Bario et al.!® indicated that,
because of the memory effect, such a structure conserves its iden-
tity for a certain distance after it penetrates the region of the inner
half-wake, transporting with it the turbulent properties generated
in the region of the outer wake. Consequently, in a limited region
of the inner half-wake, and in spite of the negative velocity gradient,
the total shear stress (—u’v') remains positive.

A separate, yet important related issue to the Reynolds shear-
stress measurement and interpretation is the use of an appropriate
coordinate system. Traditionally, Reynolds stresses have been com-
pared in BL coordinates,in which the mean and fluctuating velocity
vectors are resolved in components normal and parallel to the sur-
face. Johnsonet al.”® illustrated the difference of coordinate system
orientation for Reynolds stress comparison over a NACA 4412 air-
foilnearthe Cy,, condition.The two coordinate systems compared
were the shear-layeraligned system (coordinatesin which the flow
direction is aligned to U /U, = 0.5) and BL coordinates. They at-
tributed the large differencesin measured Reynolds stresses for the
two different coordinate systems to 1) the flow in the separated BL
being far from parallel with the surface and 2) the normal stress dif-
ferences being large compared with the shear stresses. Unlike John-
son’s example, for the baseline configuration and flow condition in
this work, there is no separation over the flap surface. Nonetheless,
the flow in the CBL becomes considerably less parallel to the sur-
face away from the wall. As seen in the sketch of the high-lift CBL
(Fig. 1), the thick viscous layer extends well into the flowfield. The
local flow direction in the outer part of the layer can differ by more
than 30 deg from that of the surface slope over the flap. Hence, for
discussionsof the CBL over the flap, we adopt the approachof using
the streamline (SL) coordinate. This coordinateis similar to that of
the shear-layeralignedsystem. However, unlike Johnson’s approach
of taking the flow direction at U/U, = 0.5, in the SL coordinate
the u’v’ at each pointis rotated to the local flow direction. From the
coordinate transformationrelationship:

—u'v'|g = —u'v' cos(20) + 0.5(u'u’ — v'v") sin(20) 1)

where 0 is the angle of rotation; the #’v’ in SL coordinatesis obtained
by substitutingf, calculatedas the difference between the local flow
angle and the measurement coordinate (BL) angle. It is evident that
if 6 is not negligible and/or the difference of normal stressesis large,
then the shear stress at 6 can be quite different from that evaluated
in the local surface coordinates.

As seen from the preceding building-block-type studies, the
physics of wake and BL interactionis very intricate and complex,
even for one freestream flow condition, such as a fixed freestream
Mach number and Reynolds number. There has been much work
dedicated to understanding variations in high-lift flows caused by
different freestream conditions, or scale effects. The results have
been meticulously documented in the review paper by Haines.?’
In particular, the scale effect on C;_ at high Reynolds number
has become a very important topic, particularly since the discovery
of adverse Reynolds number effects 3% A remarkable analogy
of the reverse Reynolds number effect on a transport wing with a
highly deflected flap and the flap position effect over a quasi-two-
dimensional single-slottedflap airfoil model has been demonstrated
by Woodward et al.’! They found that if the gap is fixed at the opti-
mum for low Reynolds number, then raising the Reynolds number
reduces the thickness of the BLs and the effective gap increases.
This then can cause the peak suction on the aft element to rise and
provoke a separation near the TE of the element, overriding the
favorable effect of increasing Reynolds number on separation char-
acteristics. This type of scale effectis of major concern to industry;
becausea high-liftconfiguration that performs well in a wind-tunnel
environment at smaller scale, could perform poorly in a real flight
condition at full scale. Clearly, we must obtain better understand-
ing of the mechanisms that govern this scale effect, so that we can
reliably simulate high-lift flows at actual flight conditions.

III. Methods

A. Experimental Approach

The high-lift airfoil geometry and flowfield measurement loca-
tions are depicted in Fig. 4. The streamwise coordinates in percent
chord correspondingto these locationsare also givenin both stowed
and unstowed coordinates. In this work, all streamwise locationref-
erences will be made using the unstowed coordinates to avoid con-
fusion. Velocity profiles have been obtained in three wind-tunnel
entries, and Reynolds stresses have been obtained in two separate
entries. A portion of the experimental results presented here were
reported by Spaid and Lynch'® and Chin et al.'” Descriptions of the
experimental apparatus and proceduresare presentedin those publi-
cations. These data were obtained with a multielement airfoil in the
LTPT. Data obtained from these investigations consisted of surface
static-pressure distributions and time-mean flowfield surveys with
five-hole and flat-tube probes above the upper surfaces of the main
element and the TE flap. Data from the flat-tube probe were used
only for the portions of the profiles near the surface. Total-pressure
measurements obtained with the flat-tube probe were corrected us-
ing data obtained from the five-hole probe during the same survey.
The correction applied to the flat-tube probe data was assumed to
be proportionalto the local total pressure. Results were obtained at
a Mach number of 0.2 and Reynolds numbers based on the clean
(stowed) airfoil chord (c) of 5-16 M. The data include angles of
attack beyond maximum lift.

1 2 3,
f FL 5
( xﬁ
location 1 23 4 5 6

stowed  10.8 45 85 71.75 87.0 975
unstowed 10.8 45 85 89.82 103.2 111.2

Fig. 4 Experimental survey locations in percent chord.
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In this paper, new results are presentedin which fluctuating flow-
field quantities were measured with a cross-wire probe. The travers-
ing unit used in the previous investigations was modified to permit
side-by-side mounting of a five-hole probe and a cross-wire probe.
Each hot-wire sensor was 5 um in diameter and had an unplated
length of 1 mm. Calibrations were performed with the cross-wire
probe mounted in the tunnel test section, with the sensing elements
immersed in the potentialcore of a calibrationjet. The tunnel circuit
was pressurized to the test-section static pressure intended for the
subsequentrun. Several calibrationswere performedat jet velocities
that included the range of velocities anticipated for the subsequent
run. At each jet velocity, the calibration jet nozzle and plenum were
rotated in the pitch plane through £35 deg. Using an approach sim-
iliar to that of Lueptow etal.,*? the calibrationdata were interpolated
to form a regular grid and a two-dimensional polynomial was fitted
to the data. The order of the polynomial was optimized to provide
the best fit for each calibration. The procedure usually called for
second- or third-degree polynomials. The average accuracy of the
fit was 1.7% for angle and 0.5% for velocity. The temperature drift
duringa calibrationor a survey run typicallydid notexceed 1°C. The
temperature change between the time the calibration was performed
and when the survey was taken averaged 5°C. The overheatratio for
the hot wires was maintained between the calibrationand the survey
runs. For the Reynolds stress surveys, data were sampled at 50 kHz
and bandpass-filtered between 20 kHz and 20 Hz. During a run, the
data were continuously sampled for 2 s at each point in a survey
profile. Further details regarding the Reynolds stress measurement
can be found in McGinley et al.**

B. CFD Method

The compressible, thin-layer RANS equations with a finite vol-
ume formulation are solved using the code CFL3D.**=37 This code
is globally second-order accurate in space. Upwind-biased spa-
tial differencing is used for the inviscid terms, and flux limiting
is used to obtain smooth solutions in the vicinity of shock waves,
when present. Viscous terms are centrally differenced. The flux-
difference-splittingscheme of Roe*® is employed to obtain fluxes at
the cell faces. The time-marching method is implicit, three-factor,
approximate factorization. The implicit derivatives are written as
spatially first-order accurate, which results in block-tridiagonalin-
versions for each sweep. However, for solutions that utilize Roe’s
scheme, the block-tridiagonalinversions are further simplified with
a diagonal algorithm (with a spectral radius scaling of the vis-
cous terms). The CFL3D code has been used successfully to com-
pute multielement airfoil flowfields.”*4° In addition to test run
CFL3D with thin-layer assumption in both directions, independent
computations*! have also explored the effect of including the full
Navier-Stokes terms for these flows on identical grids. It is con-
cluded that the differences (including velocity profiles and turbu-
lence quantities) are negligible compared with the thin-layer solu-
tions presented here.

For simulating the flow around the high-lift configuration shown
in Fig. 4, multiple-zone grids connected in a one-to-one match-
ing manner were used.” Free-air outer boundary condition is used
unless otherwise specified. The grid topology was chosen to best
resolve the CBL physics and to ensure conservation across grid
boundaries. Grid sequencing, multigrid, and local time stepping
have beenemployedto accelerateconvergenceto steady state. Anal-
yses of grid density effects have been performed in the previously
mentioned references. Additionally, wind-tunnel wall effects and
free-air outer boundary-condition effects have been documented’
for the high-lift configuration studied here. In this work, the grid is
also perturbed by adapting the original grid such that it is closely
aligned to computed flow streamlines. Additionally, local grid re-
finement near the main-element trailing edge (MTE) is also tried.
The Spalart-Allmaras*? (S-A) one-equation eddy viscosity turbu-
lence model is employed. For simulations involving transition to
turbulence, the transition locations are specified using an approach
similar to that taken by Rumsey et al.” using measurements from
Bertelrud.®

IV. Results and Discussion

A. Flow Steadiness and Maximum Lift: CFD Convergence
and Experimental Observations

The RANS equations are derived by averaging the viscous con-
servation laws over a time interval chosen large enough with re-
spect to the time scale of the turbulent fluctuations. However, this
time interval must also remain small with respect to the time scales
of other time-dependent effects. Only when this is possible, the
time-dependentReynolds-averagedcontinuityequationremains un-
changed for the mean quantities, and all of the effects of the turbu-
lence on the averaged momentum conservation are contained in
the Reynolds stress. As reviewed in Sec. II, and also discussed
in Sec. IV.A.1, at near maximum lift (C,, ) conditions, the flow
can be very unsteady. It is not clear yet whether this unsteadiness
can be modeled by the RANS approach because the time scale has
not been well documented.

1. Convergence

For the baseline configuration (Fig. 4), we examine the flow at
a = 19 deg and at maximum lift (C;,,, ), @ = 21 deg for Re =9M,
and freestreamMach number My, = 0.2. A normalized convergence
history plot for « = 19 deg is shown in Fig. 5, where the % Delta
represents percentage difference with respect to the final converged
result. At 5100 iterations, the solution converges to an L2-norm
of the density residual of —9.3, representing a total drop of five
orders of magnitude from the initial freestream condition. For the
purposes of this illustration, we refer to this as the final converged
result. An important observation is that inviscid properties such as
pressure and total lift converge very rapidly compared with viscous
properties. As C reaches 3% from its final value (C.) at 2600
steps, or half of the total convergencetime, Cp, is still 20% from its
final converged value (Cpy). It should be noted that, although the
solution has not completely converged to machine accuracy after
5100 iterations, computations were also run out to 7600 iterations
with density residual further decreased to —9.4, and less than an
additional 0.2% change in lift, 0.9% in drag, and no appreciable
change in the resulting velocity profiles.

Snapshots of a BL profile at x/c = 0.45 (location 2 in Fig. 4)
at 2600 and 5100 steps (half vs full convergence) are presented
in Fig. 6a. The corresponding turbulence profiles are also given in
Fig. 6b. While the difference shown between these two convergence
levelsis subtle, it is clear that the biggest change in the profile from
half convergenceto full convergenceis in the wake (due to the slat).
This has two important implications: 1) when comparing the CFD
viscous profiles with measurements, one must be sure to use a fully
converged solution; 2) acceleration schemes for CFD flow solvers
must take into account the wake convergence.

In Fig. 5, it is interesting to note that the convergence rate of
the turbulence residual is almost identical to that of the drag. To
investigate whether the turbulence model is the root cause of the
slow convergence, we performed a simple test by restarting from

1007 ey 1o
!.|I"i| l

---. (CL-CLf)/CLf
— -~ (CD-CDf)/CDf
—— (Rt-Rtf)/Rtf

% Delta

0 T : .
0 1000 2000 3000 4000 5000
iterations

Fig. 5 Normalized convergence history.
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Fig. 6 a) Velocity profile comparison at x/c = 0.45 and b) Reynolds
shear-stress comparison.

the solution at half convergence (or 2600 steps) and freezing the
eddy viscosity. The final resulting convergenceis just as slow as be-
fore, and the solutionincludingthe predicted Reynolds stress profile
(not shown here) is also nearly the same as before. It appears that
the turbulence model is not the cause of the slow convergence. The
turbulence field seems to be effectively established within the first
half of the convergenceinterval, after which the changes are mini-
mal, i.e., not enough to make a significant impact on the mean-flow
quantities. Hence, given half-converged wake-like eddy viscosity
levels, the question arises as to why the wake mean flow is slow to
converge. Is it a result of having BL-like high-aspect-ratiocells in
the wake; although the wake grids are spread out downstream (in the
direction normal to wake centerline) with lower aspect-ratio cells
in general, perhaps the spreading rate is not fast enough? When the
eddy viscosity is frozen, there is only the mean flow that is trying
to react to the turbulence. Is the slow convergence a result of the
separated cove flows, where small changesin pressure only slightly
affect the lift, but rather result in large changes in drag, hence, the
slow drag convergenceand downstream wake convergence?In con-
sideration of these open questions, future efforts to uncover and
attempts to remove the root cause of this slow convergence seem
prudent.

In Fig. 6b, the Reynolds stresses are in a fixed coordinate sys-
tem aligned with the local surface normal (also referred to as BL
coordinates), because the flow direction is almost aligned with the
airfoil surface at this location. It should be noted that, because only
the Reynolds shear stress is compared, the term Reynolds stress
and the term u’v’ are both used loosely here and throughout the
paper to refer to the Reynolds shear stress u,,v,,, where u, and v,
are fluctuating components of the velocity in the local coordinate
system chosen. Also note that in Fig. 6 and all subsequent profile
plots, y/c refers to the local wall-normal distance nondimension-
alized by the stowed airfoil chord. All velocity profiles presented
are velocity magnitudes nondimensionalized by freestream speed
of sound. All Reynolds stresses presented are nondimensionalized
by the freestream velocity squared. Ignoring the slat wake, which is
not accurately predicted by CFD, it can be seen that the Boussinesq
assumption still appears valid at this midchord location within the
main-element BL. Additionally, the CFD profiles (both mean and
turbulent quantities) indicate that this is an unmerged region of the
CBL (also see Fig. 2), i.e., there is a potential core between y /c of
0.01and 0.03. However, the measured profiles suggestthat the inner
part of the slat wake and the main-element BL are already merging.
This implies that CFD does not predict the same merging rate as
observed in experiment. For lower angles of attack, the merging of
the slat wake and main-element BL occurs even earlier; compar-
isons of mean velocity profiles at the same location are presentedin
Rumsey et al.’

2. Maximum Lift

At maximum lift (0 =21 deg), experimental data indicate un-
steadiness in the wake regions at stations near the flap TE. How-
ever, there is no flow separation on the main element or the flap

Table 1 Lift coefficients and maximum Mach for o = 19-24 deg

o Slat Main Flap Total M hax

19 0.7852 3.2758 0.3704 4.4315 1.0137
20 0.8344 3.3025 0.3550 4.4918 1.0966
21 0.8873 3.3337 0.3413 4.5624 1.2074
22 0.9381 3.3490 0.3268 4.6139 1.3477
23 0.9861 3.3454 0.3128 4.6444 1.4576
24 1.0245 3.2958 0.2968 4.6165 1.5092

for « =21 and 22 deg. Mean velocity profiles obtained from the
five-hole probe at these aft locations show noticeably more scatter
than at the forward stations. Furthermore, at the two stations near
the TE (x/c=1.0321 and 1.1125), there is a substantial increase
in wake turbulence levels measured by the hot-wire probe*® It is
possible that interference effects of the traversing unit contribute to
the observed unsteadiness.

For the steady-state simulation with local time-stepping at « =
21 deg, the initial solution convergence is similar to that of the
o = 19deg case up to 5000 steps. However, there are small oscilla-
tionsin drag,and eventually the amplitude grows. We terminated the
steady run when the drag oscillation was beyond 10 counts. When
the simulationis run with a second-ordertime-accurate scheme, the
solution eventually settles to a steady state. Over 5.4 chord lengths
were traveled in the interval of time-accurate simulation. We con-
clude that the oscillations seen in the steady-state simulation do
not represent the true numerical solution, because using a uniform
time step and the time-accurate scheme does not reproduce a sim-
ilar unsteady phenomenon. The remaining question is: why does
this peculiar phenomenon in the convergence of numerics happen
at o = 21 deg, the stalling angle observed in the experiment? To
attempt to answer this question, we examine the solutions at all an-
gles around @ = 21 deg and beyond the stall predicted by CFD for
Re=9M, and M;, = 0.2.

The lift coefficients and maximum Mach number from the CFD
solutions for ¢ = 19-24 deg are summarized in Table 1. Transition
locations are specified for each case, although experimental transi-
tion data are only available up to 22 deg. At 22 deg, the transition
region is slightly larger than that of 21 deg. However, in CFL3D
only a pointlocation can be specified to mark the extent (boundary)
of the laminar region because the actual process of transition is not
modeled. Transition over the slat LE is specified to be as close to the
21-deg case as possible, whereas the flow is kept attached without
laminarseparation,which can be numerically unstable.In particular,
the transition location (endpoint) for the 22-deg solution s specified
at 0.2% ahead of that for 21 deg. Similarly, for the solutions at 23
and 24 deg, the end of laminar region on the slat is fixed at the LE,
which is 0.1% ahead of that for 22 deg. The solution convergence
beyond o =21 degis similar to that for « =21 deg, though for each
case steady-state solution can be obtained using the time-accurate
approach. The maximum lift is predicted at o« =23 deg, which is
1 deg after the main element has reached its maximum lift. De-
tailed examination of the flow solutions indicates that there is no
upper-surface separation on either the flap or the main element at
stall. However, the flows around the slat reveal a very interesting
development.

The predicted pressure coefficient (C,,) distributions from CFD
solutions over the slat for « = 19-24 deg are plotted in Fig. 7. Be-
cause the flow around the LE is mainly along the y direction, this
pressuredistributionplotis displayedas y vs C,; this y coordinateis
not to be confused with the y /c correspondingto the surface normal
direction. It can be seen in Fig. 7 that the suction peak is very close
to the slat LE, and the suction C, decreases with increasing angle
of attack. Near maximum lift, the value of the pressure coefficient
is approximately —25. This suggests that the flow around the slat
LE has reached the compressibility limit, namely, the 0.7 vacuum
value;? or C,M2 = —1, where My, = 0.2. That is, the flow can no
longer accelerate around the LE, and it reaches a maximum local
Mach number around 1.5, which is also predicted by CFD as seen
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Fig. 8 a)Streamlinesaround the slat for o =19 deg and b) skin friction
coefficient over the slat for o = 19-24 deg.

in Table 1. The location of this maximum Mach number is near the
slat LE for every case.

Figures 8aand 8b show the predicted streamlinesand skin friction
coefficient (C ;) around the slat LE. The streamlines and stagnation
point correspond to the solution at « = 19 deg. For flow at higher
angle of attack (@ = 20-24 deg), the stagnation point is located
downstream closer to the cusp. From the stagnation point to the LE
of the slat, the skin friction coefficient is negative because the flow
is traveling upstream, not because of flow separation. Immediately
downstream of the LE (—0.1 < y < —0.075), it can be seen that
there are two distinctive groups of solutions. The solutionsup to 21
deg exhibit similar features, namely, they show a trend toward sep-
aration as the local minimum C; value approaches zero just aft the
LE as « increases. In contrast, the solutions beyond 21 deg reach a
much higher suction-peakskin friction value. This indicates that the
flow justbehind the LE is laminar below 21 deg, and turbulentabove
that. The flow around the slat LE also must slow down and separate
at some point above 21 deg, because it has reached the compress-
ibility limit as seen earlier. It is conceivable that for the experiment
there is a separation bubble at the slat LE for « = 22 deg, and the
actual transition process itself prevents the bubble from becoming
a huge LE (laminar) separation. Because the transition process is
not modeled correctly, the CFD solution stays attached at « = 22
deg. However, even with attached flow at the LE, the turbulent BL
still separates at « = 23 and 24 deg. Numerical experiments were
performed to see if the fully turbulent flow assumption would yield
the same results. As expected, for the CFD solutions with fully tur-
bulent flow assumption, the maximum lift also occurs when the slat
boundaryseparatesand the C, reachesthe compressibilitylimit. The
angle of attack for maximum lift is 24 deg, or 1 deg later than pre-
dicted with a transition assumption. The remaining questionis: why
should the slat separation prevent the main element from gaining
more lift?

0.04  0.06 0.08 0.10 0.12
x/c

Fig. 9 Pressure coefficient distribution around the suction peak over
the main element.
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Fig. 10 Velocity profiles at suction peak and aft of suction peak. x/c =
a) 0.05 and b) 0.10.

The main-element C,, distribution around the suction peak is
plotted in Fig. 9 for « = 19-24 deg. In general, the C,, around
the suction peak becomes more negative as « increases; except at
o =24 deg, this trend reversesdownstreamof the suction peak. This
phenomenonon the surface is directly related to the slat wake. It can
be seen in the velocity profiles at x/c = 0.05 and 0.10 (Figs. 10a
and 10b, respectively) that the wake deficit growth is much larger
above 22 deg. The flows with larger wake deficit must work harder
to penetrate the adverse pressure-gradientregion downstream of the
main-element suction peak. Additionally, the displacement of the
slat wake deficit and the near-surface flow in the confluent BL must
satisfy the momentum conservation. This suggests that at stall, the
reverse trend of the surface pressure downstream of the suction peak
is coupled with the reduction of near-surface momentum. A near-
surface enlarged velocity profile comparison before and after the
suction peak confirms this hypothesis (Figs. 11a and 11b). Whether
this is the true physical process of stall remains to be seen.

B. Trends: CFD Predictions vs Measurements

Asreviewed in Sec. II, the effect of varying freestream Reynolds
number has been shown to be similarto that of varying flap gap size.
In particular, Woodward et al.>! has demonstratedthat, with increas-
ing Reynolds number, the BLs and wakes reduce in thickness, and
hence, the resultingbehavioris strikingly similar to thatachieved by
increasing the flap gap at constant Reynolds number. In this work,
we examine the trends caused by varying Reynolds number and flap
gap by considering perturbationsto a baseline airfoil and flow con-
ditions, with the aim of better understanding the change in physics
and shortcomings of CFD models. This trend study represents only
a small subset of the entire scale effect investigation. Nonetheless,
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the usefulness of CFD in the design of high-lift configurations de-
pends to a large extent on the ability of CFD to predict correct lift
increment trends and magnitudes corresponding to small changes,
either in onset flow conditions or in the airfoil geometry.

1. Reynolds Number Effect

When the freestream Reynolds number is increased from SM to
9M, the measured lift increases by 0.078, or 1.9%, and the pre-
dicted lift (with transition locations specified) increases by 0.075,
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Fig. 11 Near-surface velocity profiles. x/c = a) 0.05 and b) 0.10.
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or 1.7%. The experimental repeatability in lift measurement is less
than 1% at this flow condition (Mach 0.2, « = 19 deg). CFD not
only predicts a similar trend to that observed in the experiment, but
also yields very good agreement in the magnitude of lift increase.
The trendin the CBL developmentis also captured by the CFD sim-
ulation. The predicted and measured velocity profiles at locations
4-6, corresponding to the LE, midchord, and TE over the flap, are
plotted in Figs. 12a (i)-(iii) and 12b (i)-(iii), respectively.It can be
seen that the increase in Reynolds number results in a translation
of the CBL profile down toward the flap surface. This means a re-
duction of the CBL displacement thickness as Reynolds number is
increased from 5M to 9M ; this trend is consistent with the increase
in lift.

2. Flap Gap Effect

Two configurations of the same airfoil with different flap gaps
are studied for freestream conditions Mach= 0.2, o =19 deg, and
Re =9M . The baseline configuration has a flap gap of 1.27% chord,
and is referred to as 30P30N. The other configuration has a gap size
1.5% chord, or 0.23% chord larger than the baseline flap gap size.
This configurationis referred to as 30P30AD. It is observed that the
lift coefficient (C; ) increases by 0.043, or 1.00% that of the baseline
configuration as the flap gap size is increased. In a separate tunnel
entry, the lift increased by 0.94% for the same increase in gap size.
The experimental data from the two tests are given in Table 2.

The lift coefficients from three sets of CFD solutionsand % AC;
because of increasing gap size are presented in Table 3, where FA
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Fig. 12 Trend as a result of increasing Reynolds number.
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(i)-(iii) correspond to velocity profile locations 4-6: a) CFD predictions and
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Table2 Measured lift coefficients and % A Cy comparison

Test Element 30P30N 30P30AD % Delta

Tl Slat 0.7473 0.7591 0.275
Main 3.1805 3.1993 0.439
Flap 0.3563 0.3684 0.282
Total 4.2841 4.3268 0.997

T2 Slat 0.7639 0.7697 0.133
Main 3.2251 3.2474 0.513
Flap 0.3554 0.3682 0.295
Total 4.3444 4.3853 0.941

Table3 CFD lift coefficients and % A C;. comparison

CFD 30P30N 30P30AD % Delta
FAl 4.4315 4.4446 0.296
FA2 4.4315 4.4941 1.413
WT 4.4542 4.5325 1.758

in the first column denotes the free-air boundary condition and grid
assumption, and WT denotes the wind-tunnel walls boundary con-
dition and grids. For the solutions in FA1, transition locations for
the two configurations were assumed to be the same. For solutions
in FA2 and WT, transition locations from the two configurations
differ by 0.5%c over the main-element upper surface, and 0.2%c
over the flap upper surface. This difference reflects the actual tran-
sition locations seen in the experiment.** The general trend of an
increasein liftis predictedin all CFD solutions. The solutions from
FA1 yield the least percentage increase. The individual element lift
contributionsindicate that the only increase in lift for the FA1 solu-
tions is due to the flap. In contrast, both the FA2 and WT solutions
show the largestincreasein lift because of the main element, as seen
in the experiment.

Two sets of predicted velocity profiles over the flap for these
two configurations are plotted in Figs. 13a and 13b, which corre-
spond to cases FA1 and WT, respectively. The profiles from FA2
are not shown here, but their trends are identical to those predicted
by WT. The measured velocity profile surveys for the same loca-
tions and configurations are plotted in Fig. 13c. At the flap leading
edge, the trend is the same between CFD and experiment, namely,
a shift of the whole profile away from the surface as gap size is
increased. This is expected, because the larger flap gap means a
translation downward in the vertical distance of the flap surface
with respect to the MTE, if the overhang (horizontal distance from
the MTE) stays the same. However, downstream of this, the mea-
sured wakes show an apparentincreased turning toward the surface
for the increased gap size. This same trend is seen for the WT
(Fig. 13b) as well as the FA2 solutions, but not for the solutions
from FA1 (represented in Fig. 13a), in which transition location is
identical for the two configurations. However, even the FA2 and
WT cases do not show as much difference in wake position as the
experiment.

The increase in flap gap size is on the order of the BL thickness.
By widening the gap, it is similar to having a higher Reynolds-
number flow through the gap. Therefore, it is not too surprising
that the net effect observed when increasing the gap size is simi-
lar to that of increasing the freestream Reynolds number. That is,
a reduction of overall displacement thickness at the flap trailing
edge, and consequently, an increase in lift. In examining the mea-
sured trend (Fig. 13c), it is seen that there is a translation for the
layer adjacent to the flap wall up to the main-element wake cen-
terline (y/c between 0 and 0.06) over the whole flap surface. This
translation is predicted by all CFD solutions, suggesting that for
the wall layer and inner half-wake caused by the main element,
CFD does a fairly good job of predicting the trend caused by the
gap change. However, it remains an open question as to whether
the disagreement between CFD and experiment outside this inner
layer is a result of further transition location differences between

configurations not yet accounted for, or whether CFD is unable to
model an actual increased wake turning rate for the larger flap gap
case.

While the predicted trends due to the CBL development are not
quite the same, all CFD predictions show an increase in lift with in-
creasingflap gap size. Itisnotclear what the impactof differentCBL
trends is on the total circulation. However, from the FA1 solutions
itis apparent that CFD only predicted the increased circulationover
the flap if the slat and main element transition remains the same.
Whether the increase of circulation over the main element and slat
is because of differences of transitionlocation or wake modeling, or
a combination of these factors, the results definitely suggest that the
solution requires correct coupling of inviscid and viscous physics.
Furthermore, the merging and turning effects of the wakes require
that all aspects of the physics be modeled appropriately,including
transition and turbulence, and possibly unsteady phenomena that
we have not begun to understand.

C. Wakes: Merging and Turning

As seen in previous sections, wake prediction is crucial to the
accuracy and convergence of the overall CFD solution. Here we
examine in detail why the CFD predicted wakes may have differ-
ent merging or turning rates from those observed in experiment.
We have tried grid adaption by aligning the wake grids to stream-
lines, local grid refinement at the MTE, applicationof the thin-layer
assumptionin both wall-normal and streamwise directions,and full-
RANS simulations. None of these produced any significant changes
in the rates of merging and turning of the wakes.

In investigating the wakes of the CBL, it is desirable to study
the slat flow first, because its effect is convected all the way down-
stream. However, the flow scale at the slat and main-elementleading
edge, e.g.,location 1 in Fig. 4, is so small that the accuracy of mea-
surements for an intrusiveexperimental survey is affected by spatial
resolution as well as some unsteadiness in the flow emerging from
the slat cove.>* As seen in the profile of the slat wake in Fig. 6, it
is possible that the earlier merging in the measured profile is due to
flow from the slat cove. Itis also likely that uncertaintiesin slat tran-
sition play a key role in differences between the CFD and measured
slat wake width and depth.” This unsteady phenomenon and slat
transition effects are beyond the scope of the current work; there-
fore, we will focus instead on the wake from the main element and
its development over the flap.

1. Flow at MTE

Figures 14a and 14b show velocity profiles and the correspond-
ing Reynolds stress profile comparisons at the MTE (location 3).
The agreement between CFD and experiment is excellent in the
wall layer (y/c ~ 0-0.02), but the prediction of the slat wake and
merging region is poor. Additionally, the predicted Reynolds stress
still shows a small region of potential core (y/c ~ 0.02), indicating
that the slat wake has not yet merged in the CFD solution. These
differences are likely linked to the difficulties of modeling the tran-
sition and possible unsteady flow originating with the slat, as men-
tioned earlier. The layer adjacent to the wall shows generally good
agreement between predicted and measured stresses, with only a
relatively small difference in the maximum stress level, which may
be attributed to the probe and wall interference in the experiment.
Based on the generally good agreement between CFD and exper-
iment in the main-element BL, it is observed that the Boussinesq
eddy viscosity hypothesisis valid at this location.

The velocity profile on the flap leading edge, immediately down-
stream of the MTE at 89.8%c (location 3), is plotted in Fig. 15a. It
should be noted that the y axis is shifted by ~0.01c below the sur-
face, suchthat y/c = 0 correspondsto the MTE. Features of this pro-
file are similar to those exhibited by the profiles at 85%c, although
there are some differencesin the slope of the outer-half-wake pro-
file and the maximum wake deficit due to the main element between
CFD and experiment. The corresponding Reynolds stress compar-
ison (Fig. 15b) reveals that the CFD underpredicts the measured
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Fig. 15 a) Velocity profile comparison at x/c = 0.898 and b) Reynolds
shear-stress comparison.

levels for the main-element wake. It is curious that, even though
the two stations representedin Figs. 14 and 15 are only 5%c apart,
the predictions are markedly different. A rotation of the Reynolds
stresses to different coordinates does not change the comparison
outcome here, because the flow is still mostly parallel to the surface
at this location.

Figure 16adisplaysthe measured Reynolds stress profiles at loca-
tions 3 and4. It canbe seen thatthere is very little differencebetween
the two curves. The parts correspondingto the inner half wakes show
more difference than other parts. In contrast, the comparison of the
predictedstresses shows large differencesin the main-element wake
(seeFig. 16b); the predictedu’v’ maximum magnitude (at 89.8 %c) is
less than half of that due to the wall layer (at 85%c) for y /c ~ 0.01.
To see how this large discrepancy develops between the CFD pro-
filesatthe MTE and the flap LE, we investigatethe flowfield solution
and examine each relevant variable leading to the peculiar behavior
of the Reynolds stresses.

Predicted contours of Reynolds shear stress (#'v’) rotated to the
local streamline direction at each point are presented in Fig. 17.
The corresponding strain-rate (S),) and eddy viscosity (u,) con-
tours are shown in Fig. 18 and Fig. 19, respectively. In Fig. 17,
the multiple shear layers having positive and negative shear-stress
values (observed in Figs. 13-15) are seen as contour lines paral-
lel to airfoil surfaces. In particular, it is interesting to note that the
negative contours closest to the surfaces (between y/c of 0 and
0.02) do not continue downstream smoothly over the MTE. There
is a local minimum in u’v" over the MTE. This explains why we
see an increase in predicted u'v’ at the flap leading edge (x/c =
0.898) between y/c of 0 and 0.02 compared with that at the MTE
(Figs. 14-16).
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Fig. 16 a) Experimental Reynolds stress comparison and b) CFD
Reynolds stress comparison.
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The strain-rate contours (Fig. 18) exhibita similar behavior as the
predicted Reynolds stress contours,exceptthereis a local maximum
over the MTE in the same shear layer. On the contrary, the eddy
viscosity contour levels (Fig. 19) vary smoothly in the streamwise
directionaroundthe MTE. This shows how simplisticeddy viscosity
is. The simple formularelating Reynolds shear stress and strain rate
is as follows:

_M/U/ :[Ltslz (2)
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Bradshaw! has stated that

Eddy viscosity is the ratio of a Reynolds stress to a mean strain rate
(note that this is a definition involving quantities that can be mea-
sured, not a hypothesis). Reynolds stresses and mean strain rates
develop in different ways—for example, pressure gradients affect
mean strain rates but do not directly affect Reynolds stresses—
so that the hypothesis that eddy viscosity is isotropic and well-
behaved is not reliable.

In the real flow (Fig. 16a), the Reynolds stress barely reacts to the
mean-flow gradient at the MTE in the short distance of 5% chord.
In other words, there is a “lag” in the development of the Reynolds
stresses with respect to changes in the mean flow. This is seen as the
strain rate S, varies rapidly in the vicinity of the MTE, where the
flow is suddenly free to turn, and immediately downstreamat the flap
LE it is also subjected to considerable pressure gradient. Naturally,
using the strain rate scaled by a simple constant for predicting the
Reynolds stress leads to the nonphysical behavior seen in the CFD
solution.

2. Flow over Flap at Midchord
Because the predicted Reynolds stress in the main-element wake

is deficient at the flap LE, we can hold no expectationfor agreement
between CFD and experiment downstream over the flap. Neverthe-
less, we now turn our attention to the midflap location to demon-
strate a potential pitfall of isotropic eddy viscosity models in this
region. The velocity and Reynolds stress profiles at the flap mid-
chord location x /¢ = 1.032 are plotted in Figs. 20a and 20b. As
expected,neitherthe predicted slat wake nor main-element wake are
in good agreement with the experiment. However, the correspond-
ing Reynolds stress comparison reveals a very interesting feature.
The solid symbols and curve in Fig. 20b correspond to Reynolds
stresses evaluatedin local BL coordinates, and the open circles and
dashed curve are u'v’ rotated to local SL coordinates using Eq. (1).
It can be seen that the profiles from experiment and CFD are quite
different in the region of the main-element wake. In particular, the
CFD predictionsin both BL and SL coordinatesshow a cleardistinc-
tion of positive and negative regions corresponding to the negative
and positive slopes of the velocity profile, following the Boussinesq
eddy viscosity approximation. The measured Reynolds stresses in
flap BL coordinates,however, have no negative part at all, except for
the region very close to the surface. The measured stresses in local
SL coordinatesdo show the expected negative and positive regions,
though the difference from CFD prediction remains large.

Some insightinto the reason for the differencebetween CFD and
measurementin the region where u’'v’ < 0 can be gained by looking
for the coordinate orientation that maximizes the Reynolds shear
stress. The angle for maximum shear (MS) stress can be written as

6 =4 tan”! [%(v’v’ — u’u’)/u’v’] 3)

A plot of the maximum Reynolds shear-stress comparisonis given
in Fig. 21a, where the symbols represent data after rotation to the
maximum shear-stress coordinates. It is seen that agreement of the
negative parts of the Reynolds shear stress between CFD and experi-
mentis much betterin MS coordinatesthanin BL or SL coordinates
(see Fig. 20b). Because the eddy viscosity implied by Eq. (2) is a
scalar, independent of direction, the Reynolds stress tensor and the
strain-ratetensorin CFD are aligned. Consequently, the directionof
MS stress (6) equals the direction of the MS strain rate (¢), which
can be obtained in a form similar to Eq. (3), as

¢ = %tanfl[%(szz—sll)/slz] @)
Another way to interpret the preceding equation is that “The mod-
els are designed to predict the strainwise component of stress,” as

illustrated by Driver.** For most simple BL-type flows, the max-
imum strain-rate direction is almost aligned with the streamwise

1Bradshaw, private communication, Stanford Univ., Stanford, CA, 1998.
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Fig. 20 a) Velocity profile at x/c = 1.032 and b) Reynolds stress profile
atx/c =1.032.
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direction; thus most eddy viscosity models are calibrated to give
accurate prediction of the streamwise component of shear stress.
For the high-lift flow case with multiple shear layers merging
and turning, and producing a very complex and thick CBL, not
only is the MS strain-rate direction not aligned with the streamwise
direction, but also the direction changes back and forth from the
surface to the edge of the CBL. This can be seen in Fig. 21b, where
both experimental MS stress angle (symbols) and CFD maximum
strain-rate angle (solid line) increase and decrease several times in
the CBL. In the same figure, the dashed line depicts the SL angle,
and the dash-dot line depicts the SL angle plus 90 deg (note that
this represents the angle of the orthogonal eigenvector). All of these
anglesare taken with respectto the surfaceatx /c = 1.0321.1tcanbe
seen that, for the CFD maximum strain-rate angle, the BL resulting
from the flap and the outer half-wakes due to the main element
(0.03 < y/c < 0.06) and slat (0.09 < y/c < 0.12) have directions
within 30 deg to the SL angle, whereas the inner half-wakes are
within 30 deg to the orthogonal eigenvector direction, or are within
—30 deg to the SL angle itself. This is expected because the shear
changes sign through these wakes, resulting in the eigenvectors of
S;; switching to different directions. Hence, although the maximum
strain-rate angle is within 30 deg of the SL angle in most areas, the
eddy viscosity model may have an adverseimpactin narrow regions
where the maximum stress angle is far fromthe SL angle. Moreover,
these narrow regions are also where the stress and productionare the
highest. Another observation from Fig. 21b is that the experimental
MS stress angle is not as symmetric as the CFD maximum strain-
rateangle. Namely, the angles correspondingto the inner-half wakes
are closer to the SL angle plus 90 deg than those angles in the outer
half-wakes are to the SL angles. In particular, it is seen that the
experimental MS stress angle is almost 45 deg away from the two
SL angles between y/c of 0.03 and 0.06. Overall, it can also be
seen that the experimental and CFD angles do not always switch
directions at the same y/c. The comparisons in Fig. 21b suggest
that the poor agreement we have for the Reynolds stresses is in
part a result of the inherent inability of the isotropic eddy viscosity
model to predict the same magnitude and direction (relevant to the
transport of momentum) of the Reynolds stresses.
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V. Conclusions

The analysis of representative cases investigated, in light of the
knowledge gained from the numerical and experimental data, sug-
gests the following conclusions:

1) Global convergence of high-lift flows is inhibited by particu-
larly slow convergence of the wakes. Research to uncover the root
cause of this wake convergence problem is essential, particularly
for CFD in three-dimensional high-lift design applications.

2) At maximum lift, flow unsteadiness is observed in the exper-
iment. The RANS simulation at the same angle of attack does not
show unsteadiness. However, instability in numerics is observed if
a non-time-accurate approach is taken to converge the solution.

3) The maximum lift predicted by CFD occurs when flow over
the slat reaches the compressibility limit. At the predicted max-
imum lift, although there is no separation over the flap, the slat
boundary layer separates, resulting in a thickened slat wake, which,
in turn, causes the main element to stall because of momentum
displacement. Whether this is the physical phenomenon that limits
maximum lift remains to be seen.

4) Based on the comparison of the lift increase and the changes
in velocity profile development in the CBLs between CFD and
measured data, we conclude that the trend caused by increasing
Reynolds number from 5M to 9M is predicted by CFD, and the
trend caused by increasing flap gap size by 0.23% chord is not
clearly captured by CFD. The successin the Reynolds number trend
predictionindicates that CFD can capture the translational effect in
the CBLs. Nonetheless, the merging and turning effects require that
all aspects of the physics be modeled appropriately,including tran-
sition and turbulence,and possibly unsteady phenomenathat are not
addressed in this study.

5) Eddy viscosityis notreliable for predictingthe physics of wake
confluence in high-lift flows. It is demonstrated that, because of
the CFD-predicted Reynolds stressesreactinginstantaneouslyto the
shear-strainrates, the results of wake confluence (at MTE) disagree
with those seen in the experiment.

6) Predicted Reynolds shear-stress profiles at the midflap loca-
tion do not agree with measured data, particularly in the outer-half
wake from the main element. Part of the discrepancy is a result of
poor upstream prediction of the Reynolds stresses; however, there
is also a question regarding the coordinate system in which it is
appropriate to compare the actual Reynolds shear-stress and CFD
results using eddy viscosity models. Nevertheless, considering the
oscillatory character of the maximum strain-rate angle as well as the
disparity between the measured MS stress angles and the computed
maximum strain-rateangles at the midflap location, itis evident that
the isotropic eddy viscosity assumptionis not strictly valid and may
even be damaging for predicting the physics of CBLs in this region
of the high-lift flowfield.

The focus of this paperis to determine the degreeto which viscous
flow physics is correctly represented by CFD. However, the com-
plexity of the physics (including flow unsteadiness, uncertainties
in transition locations, and strong inviscid-viscous couplings) and
limitations of the experiment (such as tunnel wall effects and three
dimensionality at maximum lift) make it difficult to draw general
conclusions. It is therefore unclear how much the poor predictions
of engineering quantities, such as lift trend, are a result of poor
modeling of turbulence,and how much are a result of other factors.
Research attempting to isolate and quantify the impact of predicted
viscouspropertieson the overallhigh-liftsolutionaccuracyis clearly
warranted.
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